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Crack nucleationa b s t r a c t
A micro-mechanical modelling methodology is presented for predicting fretting fatigue crack nucleation
in Ti–6Al–4V. The methodology is based on a combination of (i) a unit cell crystal plasticity model of Ti–
6Al–4V, (ii) a frictional contact model of an experimental fretting wear configuration, and (iii) implemen-
tation of a microstructure-sensitive fatigue indication parameter for prediction of crack nucleation. A
novel micro-mechanical method for wear prediction is presented. A key finding is the important role
of cyclic micro-plasticity in ostensibly elastic loading regimes in fretting wear, resulting in significant
effects on distributions of salient fretting contact variables such as contact pressure.
 2013 Elsevier Ltd. All rights reserved.1. Introduction
Fretting is a phenomenon that takes place when two materials
come into contact under a normal load and are subjected to a cyclic
tangential force which results in displacements typically in the
range of 5–100 lm. It can occur in a wide range of industries, typ-
ically aerospace, biomedical and offshore oil and gas. A large num-
ber of parameters are responsible for fretting fatigue such as
normal load, tangential force, coefficient of friction (COF), surface
roughness and micro-mechanical properties. This results in fret-
ting damage being a complex problem making component life dif-
ficult to predict. This phenomenon normally results in two main
sliding regimes (i) partial slip and (ii) gross sliding. When a tangen-
tial force is applied to one of the contacting bodies the relative dis-
placement between the two bodies increases until a stick region is
present in the centre. This sliding regime is more commonly re-
ferred to as partial slip and results in localised stress concentra-
tions at the stick-slip interface. This slip regime commonly
results in crack initiation and premature part failure. When the
tangential force increases further and overcomes the surface shear
traction gross sliding is achieved. This sliding regime normally re-
sults in large amounts of material removal as a result of micro-
cracking (e.g. asperities) and wear. This leads to a more uniform
distribution of micro damage across the entire contact zone and re-
sults in a longer fatigue life compared with the partial slip regime.
Fretting maps, as seen in [1], show the relationship between
contact pressure and displacement amplitude for each sliding re-gime. Vingsbo and Soderberg [2] describe the effect of sliding re-
gime on component life. A significant increase in part life is
evident as slip amplitude is increased from the partial slip regime
to the gross slip regime. It is also evident that the modelling of
material removal is necessary for accurate gross slip life predic-
tions. This importance is highlighted by Madge et al. [3,4] where
the effect of slip amplitude and consequently slip regime was
investigated for Ti–6Al–4V. This was achieved by implementing a
material removal simulation tool based on the Archard equation
[5]. The Archard equation is a commonly-used wear law which
has been shown to successfully predict sliding wear across a wide
range of materials and loading conditions [6]. Life predictions were
based on the Smith–Watson–Topper (SWT) fatigue indication
parameter (FIP), corresponding to macroscopic crack lengths (e.g.
1 mm long cracks). This does not distinguish between different
cracking regimes, as shown by the following equation:
Nf ¼ Ni þ NMSC þ NPSC þ NLC ð1Þ
where Nf is the total life predictions, Ni is the number of cycles to
crack nucleation, NMSC is microstructurally short crack growth, NPSC
is physically short crack growth and NLC is long crack growth as de-
scribed by McDowell and Dunne [7].
Previous work carried out by Ding et al. [8] has presented a
modified macroscopic FIP method to predict crack nucleation lives
for Ti–6Al–4V, compared with experimentally obtained data. Fret-
ting tests were carried out under a variety of loading conditions
which resulted in different slip regimes and crack nucleation lives.
Crack location, angle and life were predicted using a critical plane
SWT approach in combination with a wear simulation tool and
Miner’s rule. This approach used back-calculated fatigue constants,
Nomenclature
Nf total number of cycles to failure
Ni number of cycles to crack initiation
NMSC number of microstructurally short crack growth cycles
NPSC number of physically short crack growth cycles
NLC number of long crack growth cycles
a slip system
b slip system not equal to a
_ca shear strain rate on slip system a
_a reference strain rate
sa resolved shear stress on slip system a
ga strain hardness on slip system a
m rate sensitivity exponent
hab strain hardening modulus
g0 critical resolved shear stress
g1 saturation stress
h0 initial hardening modulus
ca accumulated shear strain
a phase HCP structure
a–b phase HCP–BCC structure
p accumulated plastic slip
Lp plastic velocity gradient
_p effective plastic slip rate
sa slip direction vector
na slip normal vector
pcrit critical accumulated plastic slip
pcyc accumulated plastic slip per cycle
P normal load
Dep plastic strain range
e0f fatigue ductility coefficient
c fatigue ductility exponent
Np number of cycles to crack propagation
dapp cyclic displacement






N number of FE cycles
xi horizontal location
di depth
p(x) contact pressure as a function of x-position
k wear coefficient
V wear volume
S total sliding distance
a0 initial contact semi-width
Abbreviations
COF coefficient of friction
SWT Smith Watson Topper
FIP fatigue indicator parameter
CP crystal plasticity
SS stainless steel
HCP hexagonal close packed
BCC body centred cubic
CSSC cyclic stress–stain curve
LCF low cycle fatigue
HCF high cycle fatigue
UMAT user material subroutine
NLKH non-linear kinematic hardening
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crack growth method, as presented by Madge et al. [9]. Crack
lengths, typically of the same size as metallic grains (20–50 lm),
were observed experimentally by Ding et al. [8], among others,
for Ti–6Al–4V and other metallic materials in fretting. A physi-
cally-based finite element (FE) model is required for scale consis-
tency in such situations, where modelling of individual grains,
orientations and slip systems is necessary. For this reason a crystal
plasticity (CP) material model is implemented here for more scale
consistent predictions of crack nucleation. CP theory models crys-
tallographic slip on individual slip systems within metallic grains.
CP has been used to study the effects of microstructure, such as ori-
entation, texture and grain size on numerous complex loading sit-
uations. This rate-dependant theory has been used extensively in
the design of stent struts by McHugh and Connolly [10] and
McGarry et al. [11] for 316L stainless steel (SS). CP has been used
by McDowell and co-workers [12–14] to model fretting of Ti–
6Al–4V.
Most FIP’s predict total life (Nf) and do not have the ability to
separate crack initiation life from crack propagation life. A method-
ology previously implemented by Manonukul and Dunne [15] has
shown success with regards to predicting the crack initiation life
for nickel C263 for low and high cycle fatigue. McCarthy et al.
[16] predicted crack initiation lives, but without any experimental
validation or comparison for the fretting predictions, for 316L SS in
plain fatigue and in a cylinder-on-flat fretting configuration. This
methodology is based on the identification of a critical accumu-
lated crystallographic plastic slip parameter that denotes when
crack initiation has occurred. It is a microstructure-sensitive meth-
odology, that is dependent on microstructural features such as
crystallographic orientation, texture and grain size.Ti–6Al–4V is an important material for a range of applications
due to its low weight, high strength, excellent corrosion resistance
and biocompatibility. However it is well known to be susceptible
to fretting wear and fatigue failure. A key fundamental issue for de-
sign against fretting is the prediction of crack nucleation. Due to
the versatility and widespread use of titanium alloys, a significant
amount of work has been carried out on characterising its failure
behaviour. The complex microstructure of Ti–6Al–4V is comprised
of a dual phase structure containing both hexagonal close packed
(HCP) and body centre cubic (BCC) crystals; the a phase has a
HCP crystallographic arrangement and the a–b phase is comprised
of a lamellar colony of both HCP and BCC crystallographic arrange-
ments. Extensive modelling of Ti–6Al–4V microstructure has been
carried out by McDowell [12–14] and Cailletuad [17,18]. Benedetti
and Fontanari [19] established monotonic and cyclic stress strain
curves (CSSCs) for Ti–6Al–4V while investigating fatigue crack
growth. Hasija et al. [20] investigated the cold creep phenomenon
of Ti–6Al alloy using a variety of strain rates under monotonic
loading. Both sets of experimental data are used here for calibra-
tion of the material model.
2. Methodology
2.1. Crystal plasticity theory
The crystal plasticity theory [21] used in this paper is a physi-
cally-based, rate-dependant crystallographic theory that models
the deformation of a metallic crystal lattice. Plastic slip is assumed
to obey Schmidt’s law [21], where the rate of plastic shear strain,
_ca, for a particular slip system, a, is assumed to depend on the re-
solved shear stress, sa, through the following power law:







where _a and m are the reference strain rate and rate sensitivity
exponent, respectively. Material strain hardening on slip system a,
is specified by the slip system strain hardness, ga, which is defined





where hab is the strain hardness moduli and a and b represent par-
ticular slip systems. When a = b, this parameter represents self
hardening moduli and a – b, it represents latent hardening moduli.
In this work Taylor isotropic hardening is assumed and self and la-
tent hardening moduli are considered equal. g(ca) is the slip system
strain hardness defined by the following hardness function [22]:





where h0 is the initial hardening modulus, g1 is the saturation
stress and g0 is the critical resolved shear stress. The hardening
moduli can be found through differentiation of the above equation,
as follows:












This theory is implemented here in Abaqus 6.10 via a user defined
material, (UMAT) user subroutine following the approach of [22].
Further details are given in [16].
2.2. Micro mechanical model
Ti–6Al–4V consists of a dual phase microstructure, typically di-
vided into 60% a phase and 40% a–b phase. a phase consists of nor-
mal HCP crystalline structure with plastic slip occurring on the
basal 3h11 20i{0001}, prismatic 3h11 20i10 10 and pyramidal
3h11 20i10 11 slip systems as seen in Fig. 1. Due to the high re-
solved shear stress required for slip to occur on the pyramidal
plane, three times that of the basal plane [23], pyramidal slip is
not modelled in this work. The lamellar structure of the a–b phase
is modelled by combining both HCP and BCC slip systems into a
continuous homogeneous phase [24]. This phase is not modelled
as individual alternating layers of a and b due to the small sizeFig. 1. Simple schematic of the crystallographic slip systems for a and a–b phase, where
planes.scales of these layers. This would significantly increase mesh den-
sity and result in potentially detrimental computational overhead;
instead, following the approach of [12], a continuous grain with
representative properties is implemented. This consists of 12 BCC
slip systems h111i {110} and the previously mentioned HCP slip
systems together. Twinning is also neglected here for Ti–6Al–4V,
based on the work of Dick and Cailletaud [17] and Morrissey
et al. [24].
2.3. Microstructure-sensitive crack initiation methodology
A microstructure-sensitive prediction methodology previously
developed by Manonukul and Dunne [15] is implemented. It is pro-
posed that there exists a microstructural parameter, accumulated
plastic slip, p, that is the controlling factor for crack initiation. p















with sa and na as the slip direction and normal vectors, respectively,
for a given slip system, a, with n slip systems. _p and p are coupled in
the CP user subroutine. Crack initiation is deemed to have occurred
once p has reached a critical value of accumulated plastic slip, pcrit.
This critical value is calculated using an experimentally determined
number of cycles to initiation, Ni, and the maximum (with respect
to location) accumulated plastic slip in one cycle, pcyc, for the same
loading conditions. Due to the predicted rapid stabilisation of p with
respect to the number of fatigue cycles, N, it is possible to determine
pcrit from the following:
pcrit ¼ Nipcyc ð9Þ
The measured experimental low cycle fatigue (LCF) response of the
material is encapsulated by the Coffin–Manson relationship be-
tween predicted number of cycles to failure (initiation), Ni, and







where e0f and c are material constants given in Table 1. The pcrit va-
lue for Ti–6Al–4V is identified using the Ni value corresponding to
one particular value of plastic strain range, Dep. Short crack growth
estimations, based on the El Haddad approximation and Paris crackthe red arrows represent the slip directions and the hatched lines represent the slip
Table 1





Loading parameters for experimental fretting tests [6].
Regime Normal load (N/mm) Stroke (lm)
Gross slip 50 80
Partial slip 100 50
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indicate that the numbers of cycles for crack propagation, Np, are
less than 10% of Nf. Hence it is assumed here, for uniaxial plain fa-
tigue loading, that Ni  Nf as obtained from the Coffin–Manson data.
2.4. Cylinder on flat contact model
An FE cylinder-on-flat fretting configuration based on the
experimental work of Ding et al. [8] is implemented within this pa-
per. The loading conditions used within the FE fretting model are
tabulated in Table 2, including the applied parameters and result-
ing slip regimes. The simple schematic of Fig. 2 illustrates the
experimental arrangement. The cylindrical specimen is in contact
with the flat specimen under the action of a normal load, P, and
is subjected to a controlled cyclic tangential displacement or
stroke, dapp. The flat specimen is not subjected to an applied bulk
fatigue load. It is argued that the added complication of such a bulk
fatigue load is unnecessary in terms of identifying and understand-
ing crack nucleation. This experimental arrangement has been suc-
cessfully implemented in work such as McColl et al. [25] for high
strength aero-engine steel, to characterise the fretting behaviour
under different normal loads and strokes.
The FE model follows the approach adopted in previous work
by McCarthy et al. [16] and McColl et al. [25]. A two-dimensional
plane strain FE model as seen in Fig. 3 is developed with a 6 mm
cylindrical pad in contact with a 5  10 mm substrate. Numerous
authors have reported a COF for Ti–6Al–4V under fretting condi-
tions. The current work is based on experimental observations by
Ding et al. [8] where a COF of 0.9 is reported for gross sliding con-
ditions. Furthermore, experimental work carried out by Jin and
Mall [26] for fretting on Ti–6Al–4V have reported a similar COF
value in the region of 1.1 for the same sliding regime. The region
of contact is of greatest interest within this work; therefore the
greatest mesh density is used in this area, giving a minimum ele-
ment size of 2.5 lm. Within the fretting model uniform square
grains are used. This facilitates better mesh control and more sys-
tematic analysis of results. A previous comparison study between
square and hexagonal grains [16] showed almost identical results
in terms of p. The square grain microstructure implemented here
also includes triple points. It is important to note that the two-
dimensional geometry used throughout this work is an approxi-
mation of a three-dimensional microstructure. However, each
grain is assigned a unique three-dimensionally oriented crystallo-
graphic structure (specified at the integration points within the
UMAT), which captures, to some extent, the three-dimensional
nature of the microstructure. The three-dimensional CP modelling
of a microstructure has been reported to be computationally
demanding, e.g. see [11], for tensile testing of stent struts. Com-
parisons between the current two-dimensional approach and full
three-dimensional analyses in [11] showed that the run-times forthe latter were about fifty times those of the former. With the
added complexity of a cyclic frictional contact problem, one can
expect further significant increases in computational time. Never-
theless, some previous authors (Dick and Cailletaud [17] and
Zhang et al. [13]) have modelled fretting problems using three-
dimensional CP. One concern with two-dimensional CP modelling
is that it misrepresents the number of grains present within a
problem, so that grain orientation has a significant effect on re-
sults. To address this here, a random orientation study is pre-
sented (see below).
Two different material models are used here, namely a J2 non-
linear kinematic hardening (NLKH) model and a crystal plasticity
material model. There are also two fretting models. The first is a
hybrid model (see Fig. 3), with a CP region positioned in the area
of interest, the contact region, surrounded by a J2 NLKH model.
Within this CP region there are 210 square grains, 30  7, consist-
ing of an element size of 2.5 lm; each grain is assigned a unique
randomly generated grain orientation, in addition to a randomly
assigned material phase. The second is a J2 fretting model, which
uses the J2 NLKH material model for both contacting surfaces, i.e.
the substrate specimen and the cylindrical pad. The material con-
stants are listed in Table 3, taken from Benedetti and Fontanari
[19]. Compliance within the experimental rig, with respect to tan-
gential force–displacement response, is modelled here using a hor-
izontal spring element as shown in Fig. 3. Fig. 4 shows the
comparison of the FE and measured tangential force displacement
response for the calibrated spring stiffness.
As previously mentioned, normal load has a significant effect on
fretting. Using Hertzian contact mechanics [27] the normal load re-








1:8Y ¼ ðp0ÞY ð12Þ
where R is the radius of the pad, Y is the yield stress of the material












where m and E are Poisson’s ratio and Young’s modulus of each
material respectively. The largest normal load applied within this
work is 100 N/mm, which is equal to 0.15Py, i.e. well within the
nominally elastic regime.
2.5. Microstructure-sensitive fretting damage
The significant difference between partial and gross slip and the
resulting surface damage has been previously mentioned. It is
important particularly in the context of micro-crack nucleation,
due to contact stresses, to develop a method for distinguishing be-
tween fretting wear and cracking. Fig. 5 introduces two different
damage concepts via a simple schematic. Case A (cracking)
shows localised discrete areas where large concentrations of accu-
mulated crystallographic slip, p, greater than pcrit have developed.
Case A represents a typical partial slip situation with cracking
concentrated in the slip zones. Case B (wear) illustrates a simply
connected, more evenly distributed region of accumulated crystal-
lographic slip, p, greater than the critical value, pcrit. It is important
to note here that Sweeney et al. [28], for example, have shown that
cyclic micro-plasticity occurs in situations where loading is
ostensibly elastic (at a macro scale). This distributed micro-
cracking process, effectively wear, is characteristic of gross slip sit-
uations where micro-damage occurs throughout the entire contact
region. The stabilised accumulated plastic slip per cycle parameter,
Fig. 2. Simple fretting test schematic plus the load and displacement history of the experimental arrangement.
Fig. 3. FE frictional contact model highlighting the CP region in the contact zone.
Table 3
Material data, including non-linear kinematic
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dict wear depth, based on the assumption that any material with
pðx; y; NÞP pcrit has been worn away after that number of fretting
cycles, N. Fig. 6 illustrates the process, as follows:
1. Firstly, distributions of p versus depth (at integration points) are
computed for different horizontal locations xi across the contact
width, by assuming that the stabilised (integration point) val-
ues of accumulated plastic slip, pcyc(x,y), from early fretting
cycles, can be extrapolated to large numbers of fretting cycles,
using the equation p(x,y,N) = pcyc(x,y)N .
2. For a given pcrit, corresponding to micro-crack initiation, it is
then possible to identify, by interpolation with respect to inte-
gration point values of p(x,y,N), for each value of xi, the depth di
to which pðx; y; NÞP pcrit after a given number of cycles, N. This
distribution of depth di(xi,N) is then taken as the predicted wear
depth distribution for that number of cycles N.Hence, the methodology provides wear depth distributions for
different numbers of fretting cycles.
3. Results
3.1. Crystal plasticity calibration process
Two different CP models are investigated:
Fig. 4. Comparison between the measured [8] and FE predicted tangential force
displacement hysteresis loops.
O.J. McCarthy et al. / International Journal of Fatigue 62 (2014) 180–193 185 A single-phase CP model, where one set of CP hardening con-
stants is used to represent both the a phase and the a–b phases.
 A dual-phase CP model, where two sets of hardening constants
are used to separately model the a phase and the a–b phase.
A unit cell model consisting of a uniform hexagonal grain mor-
phology is implemented, as shown in Fig. 7, for calibration of the
CP material and failure constants. The hexagonal morphology
includes triple points which are an important feature in micro-
structural modelling and deformation. Individual random crystal-
lographic orientations are assigned to each grain. A random
number generator is used to arbitrarily assign grains as either a
or a–b phase throughout the dual-phase model in the correct vol-
ume fraction proportions. The unit cell consists of 42 uniform sizeFig. 5. Distributions of accumulated plastic slip greater than the crit
Fig. 6. Simple schematic of the microstructure-sensitive fretting wearhexagonal grains and 22 partial grains making up the grain bound-
aries. 4200 four-noded, plane strain elements and symmetry
boundary conditions are used; more details are given in [16]. A
grain size of 20 lm is used for both phases based on the micro-
graphs of Ding et al. [8].
Individual CP material parameters (h0,g1,g0), as per Eq. (5), are
calibrated for each phase. This was achieved by identifying the CP
parameters for the a phase via an iterative calibration process
using a-phase Ti–6Al monotonic tensile data at different strain
rates [20], as seen in Fig. 8. In this case the CP unit cell model
was comprised entirely of a phase grains. Benedetti [19] provides
cyclic stress–strain curves (CSSCs) for Ti–6Al–4V. Keeping the
identified a phase CP parameters (see Table 4), the dual phase unit
cell model (composed of randomly generated a-phase and a–b
phase grains) is subjected to uniaxial strain-controlled, fatigue
loading and compared to the CSSC for Ti–6Al–4V, to iteratively
identify the CP material constants for the a–b phase. In the case
of the single phase CP model, the CSSC data for Ti–6Al–4V [19]
was sufficient to calibrate the single set of hardening constants. Ta-
ble 4 tabulates the CP hardening constants for both phases in the
dual phase model and the single phase model. The effect of random
orientation on the cyclic stress strain response is also investigated
for the dual phase CP model. Five different random orientation sets
are assigned to the microstructure and the results of the calibration
process for the dual phase are presented in Fig. 9, which compares
the experimental results [19] and the FE predictions corresponding
to the identified dual phase material constants.3.2. Predicted low cycle behaviour of Ti–6Al–4V
Using a single Ni value and corresponding plastic strain range,
Dep, a pcrit value of 126 is identified for micro-crack nucleationical value (a) partial slip (cracking) and (b) gross sliding (wear).
predictive methodology for a given number of fretting cycles N.
Fig. 7. Unit cell model highlighting the random distributions of a and a–b phases.
Fig. 8. Comparison between experimental [20] and FE monotonic uniaxial loading
response for iteratively identified a phase constants of Table 4.
Table 4
Identified CP constitutive constants for cyclic behaviour of Ti–6Al–4V for both CP
models.
Single phase Dual phase
a phase a–b phase
h0 (MPa) 170 220 128
g1 (MPa) 270 650 175
g0 (MPa) 165 265 75
_a (s1) 0.0023 0.0023 0.0023
m 30 30 30
Fig. 9. Comparison between the CP cyclic response corresponding to identified dual
phase material constants and the experimental cyclic stress–strain curve (CSSC) for
Ti–6Al–4V [19]. The error bars correspond to the effect of different distributions of
random crystallographic orientation on the predicted cyclic response.
Fig. 10. Comparison of CP based life predictions compared to the Coffin–Manson
relationship including the effect of random orientation.
186 O.J. McCarthy et al. / International Journal of Fatigue 62 (2014) 180–193following the approach of [15] for the dual-phase CP model.
Using this value of pcrit the entire LCF strain-life response of
Ti–6Al–4V can be predicted. Fig. 10 shows the correlation be-
tween the Coffin–Manson equation and these microstructure-
sensitive crack initiation predictions (CP response). The effect
of random orientation on CP predicted life, as represented by
the horizontal error bars, illustrates the ability of the CP model
to represent fatigue life scatter due to microstructural inhomoge-
neity. This same methodology and identified pcrit value is subse-
quently applied to a dual-phase cylinder-on-flat fretting
configuration, below, to predict micro-crack nucleation and wear.
A similar method is applied to identify the single phase pcrit
value.3.3. Single-phase CP fretting analysis
Fig. 11 shows the predicted evolutions of partial slip contact
variable distributions for the two different material models, J2
and single phase CP. The contact variables are plotted as a func-
tion of x/a0, where a0 is the contact semi width for the initial nor-
mal load, N = 0. The contact pressure distributions for the J2
model and the initial (N = 0) contact pressure for the CP model
agree with the analytical (Hertzian) solution (Fig. 11a and b).
However with increased fretting cycles it is clear that surface
microstructural inhomogeneities lead to an inhomogeneous dis-
tribution of contact pressure. Goh et al. [14] described this as
the development of a ‘‘natural surface roughness’’ in the contact
wear scar. Hence, for N > 1 the mean CP pressure distribution fol-
lows the general Hertzian profile but with significant local varia-
tions about this mean Hertzian distribution, giving rise to locally
(much) higher peak contact pressures. By N = 6, the distribution
has effectively stabilised due to plastic shakedown. The character-
istic partial slip surface shear distribution is evident from the J2
model (Fig. 11c), where the central stick zone has a contact shear
value less than lp(x).The CP predicted shear stress distribution
(N = 1) also shows significant microstructure induced variations
(Fig. 11d) about the mean (J2) partial slip distributions of
Fig. 11c. The distribution has effectively stabilised by about
N = 12 in Fig. 11d. In this case the local peaks are not predicted
Fig. 11. Evolutions of contact variable distributions for J2 and single phase CP model under partial slip conditions where P = 100 N/mm and dapp = 80 lm, (a0 = initial contact
semi width).
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Fig. 11c. Similar trends are predicted for gross slip loading condi-
tions, as shown in Fig. 12. Comparison to the Hertzian solution
shows good agreement for both the J2 model and the initial
N = 0 cycle for the single phase CP model. Clearly frictional effects
(shear) have a significant effect in terms of micro-plasticity on the
distributions of contact pressure and shear. Significant micro-
plasticity is evident in the case of the single phase CP model even
in this nominally elastic loading situation. A significant widening
of the contact area (11–18%) is predicted by the CP model espe-
cially for the higher normal load (partial slip case) as a result of
tangentially-induced (frictional) plastic deformation. Note that
the contact pressure distributions are sampled at the zero-stroke
position while the shear traction distribution is sampled at the
extreme stroke position.
Fig. 13 shows the predicted distributions of accumulated crys-
tallographic plastic slip per cycle, pcyc, for the partial and gross slip
cases. These distributions are calculated at the top layer of integra-
tion points on the substrate surface. For the partial slip case,
Fig. 13a, highly localised concentrations of pcyc are present in the
slip zones with a zero pcyc region in the stick zone. A more uniform
distribution is predicted for the gross slip condition in Fig. 13b. It is
proposed here that this more uniform distribution of pcyc be treated
as a multiple micro-cracking process which eventually leads to
material removal (Case B). The predicted crack initiation lives,
based on the microstructure-sensitive methodology, for both re-
gimes are presented in Table 5.3.4. Dual phase CP fretting crack initiation
The dual phase model is used to compare against the experi-
mentally observed crack initiation lives, locations and orientations
from the work presented by Ding et al. [8]. Using this more realistic
representation of the microstructure, the contact variables are pre-
sented in Fig. 14, where a greater degree of inhomogeneity is evi-
dent in both the contact pressure and shear evolutions as
compared to the single phase case. The peak surface tractions coin-
cide with surface phase boundary locations. In the experimental
fretting tests, cracks were observed at lengths ranging from 5 to
50 lm, after up to 105 cycles. Fig. 15 shows the effect of random
grain orientations for a sample of orientation sets for contact pres-
sure and shear. Clearly, microstructure is predicted to have a sig-
nificant effect on these distributions, both qualitatively, in terms
of local peaks in normal or shear traction (note again that the con-
tact pressure distribution is sampled at the zero-stroke position,
while the shear traction is sampled at the extreme stroke position),
and quantitatively, in terms of magnitudes of instantaneous peak
pressures and shears. Table 6 shows an average initiation life, of
5  103, which is consistent with the experimental observations.
Microscopy techniques used in the experimental work quantified
crack orientation and location. Comparisons are made in Table 6
between the predicted crack initiation lives of the different micro-
structures (random orientation sets). Fig. 16 shows an inhomoge-
neous distribution of contact slip, corresponding with the
distributions of contact pressure and shear of Fig. 11, which, as
Fig. 12. Evolutions of predicted contact variable distributions for J2 and single phase CP model under gross slip conditions P = 50 N/mm and dapp = 50 lm.
Fig. 13. Predicted evolution of accumulated plastic slip per cycle, pcyc, for two different fretting regimes.
Table 5
pcrit Based fretting micro-crack initiation predictions.
pcrit Partial slip Gross slip
No. of cycles, Ni 1609 1452
188 O.J. McCarthy et al. / International Journal of Fatigue 62 (2014) 180–193mentioned above, are indicative of the development of ‘‘natural
surface roughness’’ [14]. An apparent stick region is observed in
Fig. 16 showing the distribution of the contact slip for the 12th cy-cle for a typical partial slip situation. However on closer inspection
the ‘‘stick–slip interface’’ is not at a single point but is distributed
over a region where both sticking and slipping are predicted. This
region is a typical location for cracking to occur, as can be seen
from the SEM image shown in Fig. 17a. It can also be seen that
cracking is not limited solely to the stick–slip interface but can oc-
cur anywhere within the slip zone. Table 6 also shows the pre-
dicted crack locations for the five random orientation sets, in
comparison with the corresponding experimental crack location
range. Comparing the CP model in Fig. 17b to the SEM image of
Fig. 14. Dual phase CP model contact variables with the top layer of the Ti–6Al–4V microstructure highlighting the effect of phase boundary interface on stress heterogeneity
(partial slip case).
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of micro-crack location. These comparisons are taken after 300,000
cycles for a partial slip situation.
3.5. Wear scar predictions and wear coefficients
Applying the microstructure-sensitive fretting wear extrapola-
tion technique of Fig. 6, wear scars are predicted for the distribu-
tions of pcyc presented for the gross slip CP model in Fig. 18.
Damage is predicted across the entire contact region, correspond-
ing to Case B (Wear) of Fig. 5, and resulting in a ‘‘U shaped’’ wear
scar. Fig. 18 and Table 7 compare the experimentally measured
wear scar to the FE predicted wear profile after 100,000 cycles.
An Archard wear coefficient is computed from the predicted wear
scar using the equation:
k ¼ V
PS
ð14Þwhere k is the wear coefficient, V is the measured wear volume, P
the normal load and S is the total sliding distance. Using the wear
scar presented in Fig. 19 a comparison is given in Table 8 between
the measured experimental and FE predicted wear coefficient after
300,000 cycles.4. Discussion
The accumulated plastic slip per cycle parameter, pcyc, pre-
sented in Fig. 13, gives distinct differences between the two sliding
regimes. While the predicted crack initiation lives are similar, the
form of pcyc distribution, allows differentiation between the result-
ing modes of fretting damage. For Case A (cracking), localised
peaks in pcyc, and hence micro-cracking, are predicted across the
contacting surfaces and, therefore, this will lead to localised crack
propagation and premature failure, upon fatigue loading of the
substrate. In contrast, Case B (wear) predicts a more uniform mi-






Fig. 15. The effect of random orientation on contact variables (pressure and shear) for the dual phase microstructure for a sample of three different orientation sets of Table 6:
(a and b) for orientation set 3; (c and d) for orientation set 4 and (e and f) for orientation set 5.
Table 6
Comparisons between experimental and CP (dual phase model) predicted crack
initiation, crack orientations and crack locations.
Orientation Crack angle () Location (x/a0) Ni
Experimental <30 0.4–0.9 <1  105
Predicted
SET-1 6 0.65 3.1  103
SET-2 21 0.67 3.2  103
SET-3 30 1.24 2.2  103
SET-4 3 0.02 1.1  104
SET-5 29 1.1 7.1  103
Average 17.8 0.736 5.2  103
190 O.J. McCarthy et al. / International Journal of Fatigue 62 (2014) 180–193region. This uniform micro-cracking process will inevitably lead to
asperity removal, debris, stress redistribution and eventually wear.
This form of fretting damage will result in an increase in number of
cycles to fatigue failure compared to the partial slip regime, in sit-
uations involving substrate fatigue loading [3].
Considerable phase boundary effects are evident from the
contact variable distributions of the dual phase CP model that
were not captured by the single phase CP model (Figs. 14 and
15). These effects are due to the variations in yield stresses be-
tween the ‘‘harder’’ a phase and ‘‘softer’’ a–b phase grains. The
effect of random orientation is investigated for the partial slip
Fig. 16. Contact slip distribution for 12th cycle highlighting the occurrence of a ‘‘ natural surface roughness ‘‘ within the CP model as a result of the varying yield stress of
individual grains.
Fig. 17. (a) SEM image of a partial slip case after 300,000 cycles [8], and (b) pcyc based crack prediction for partial slip case after 300,000 cycles.
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el can capture fatigue scatter as illustrated in Figs. 9 and 10. This
benefit is further evident in Table 6 where different initiation
lives are predicted based on random orientation effects. Ding
et al. [8] observed crack nucleation lengths from 5 to 50 lmand stated that all cracks nucleated within 105 cycles. The hy-
brid CP model predicts cracks nucleating at length scales less
than 2.5 lm and predicts initiation lives that compare well with
the experimental data, given the shorter length-scales of the CP-
predicted ‘‘cracks’’.
Fig. 18. Comparison of the FE predicted and the experimentally measured [8] wear profile for gross sliding (P = 50 N/mm, dapp = 80 lm) after 100,000 cycles.
Table 7
Comparison of wear scar dimensions for the measured experimental and FE predicted
wear profile after 100,000 cycles.
Maximum wear depth (lm) Wear scar width (lm)
Experimental 23 1100
Predicted 26 237
192 O.J. McCarthy et al. / International Journal of Fatigue 62 (2014) 180–193Using the dual phase CP model, reasonable correlation is evi-
dent for predicting crack locations throughout the contact region.
The pcyc distribution of Fig. 17b can be compared against the SEM
image (Fig. 17a) after 300,000 cycles. Cracks are shown to occur
not only at the trailing edge of contact or the stick–slip interface,
as conventional FIP’s predict [8], but throughout the slip zone,Fig. 19. Extrapolated wear scar after 300,000 cycles: (a) smoothed wear scar of p(x, y, N)
pcyc.depending on microstructural effects or deformities. The dual
phase CP model has the ability to model these microstructural ef-
fects and highlights similar cracking locations (Table 6). These
crack locations are heavily influenced by the position of phase
boundaries and favourably orientated grains. Although the major-
ity of crack initiation sites correlate with the experimental results,
orientation SET-4 predicts a nucleation site at the contact centre.
While this is an unusual location for cracking under partial slip
conditions, it corresponds to a phase boundary, coinciding with a
favourably orientated grain, which causes a significant build-up
in crystallographic slip. The strong mismatch between a and a–b
phase properties, coupled with the high coefficient of friction, re-
sults in significant predicted discontinuities of contact pressure,
shear (Figs. 14 and 15) and associated subsurface stresses and crys-and (b) calculated wear profile, for gross sliding (P = 50 N/mm, dapp = 80 lm) using
Table 8
Comparison between the measured experimental and the FE
predicted wear coefficient after 300,000 cycles for the gross slip
case.
Wear coefficient (MPa1)
Experimental 8.2  109
Predicted 2.89  109
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for the gross slip (wear) analyses; hence, the gross slip analyses
in the present work employ the single phase CP material model.
The FE predicted gross slip wear scar (Fig. 18) gives good corre-
lation with the experimental for maximum wear depth; however
the predicted width is significantly less than the measured width.
The wear methodology presented here does not include material
removal, e.g. Madge et al. [3], or wear debris effects, e.g. Ding
et al. [29]. After 100,000 cycles there is significant widening of
the experimental contact zone as a result of material removal, deb-
ris and ploughing effects. It is also important to note that the FE
model is a two-dimensional representation of a 3D fretting wear
scar sampled along a particular transverse location across the spec-
imen width. Sampling along different transverse locations could be
expected to result in, at least slightly, different experimental wear
scar profiles. This type of effect requires three-dimensional CP
modelling.
The good correlation of predicted wear coefficient, of approxi-
mately 3  109 MPa1, with the experimental value of approxi-
mately 8  109 MPa1, gives confidence in the ability of CP
modelling to capture the important effects of micro-plasticity,
and hence micro-fatigue, in the wear process for Ti–6Al–4V. A
key next step is the development of a material removal wear sim-
ulation methodology based on the use of pcyc, instead of the Arch-
ard or energy based [3,30] wear methods. This would give a more
scale-consistent, and hence fundamental approach, which could
also achieve unification of crack initiation for fatigue and wear.
This paper has assumed a regular microstructure (grain shape
and size). Clearly, the real microstructure has a statistical distribu-
tion of grain size and grain shape, which in turn affects micro-
cracking (wear) and fretting crack nucleation. Of course, texture
can have an important role on fretting behaviour. The work of
Goh et al. [31], for example, highlights a considerable effect of tex-
ture on plastic strain accumulation and states that the role of tex-
ture may be significant in resisting fretting damage. The
experimental work of Ding et al. [8] however indicated no signifi-
cant texture within the material tested here. Since grain size has a
significant effect on fatigue crack initiation and propagation [32],
length scale effects (viz. strain gradient plasticity [33]), also need
to be incorporated into future CP modelling.
5. Conclusion
A microstructure-sensitive crack initiation predictive method-
ology was implemented for fretting of Ti–6Al–4V. Significant ef-
fects of micro-plasticity on the evolutions of fretting contact
tractions are demonstrated for an ostensibly elastic fretting load-
ing situation. The microstructure-sensitive approach (i) predicted
partial slip cracking (multiple sites, number of cycles to crack ini-
tiation, crack angles and crack locations), corresponding with
experimental data, and (ii) was adopted to facilitate a novel wear
prediction methodology, which predicted a wear coefficient and
a two-dimensional wear scar reasonably consistent with experi-
mental data for gross slip cases.Acknowledgement
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provision of computational facilities and support.
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